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ABSTRACT ASTM AS308 class 3 steels undergo a transition in {fracture toughness properties
with temperature, due to a change in fracture mode from microvoid coalescence to cleavage
fracture. We have studied the effect of heat treatment on the fracture toughness transition
properties of an AS508 class 3 forging. Cleavage fracture was initiated by the cracking of brittle
second phase particles, primarily iron based carbides, but in a few cases titanium carbides or
manganese sulphide inclusions. The critical stage in the cleavage fracture process is particle-size-
dependent. For small particles {i.e. < 1.2 pm), the critical stage is the propagation of a particle-
sized microcrack into the ferritic matrix, while for larger particles the critical stage is the crack-
ing of the particle. Decreasing the cooling rate from the austenitisation temperature from 40 to
6°C/min increased the transition temperature by 30°C due to an increase in ferritic grain size,
An increase in the degree of tempering from 610°C for 5 hours to 675°C for 20 hours raised the
transition temperature by 70°C due to carbide coarsening. The effect of carbide and grain size is
apparently to alter the number of particles which crack and act as potential cleavage nucleation
sites.

Introduction

A508 class 3 steel, in common with other ferritic steels, shows a transition in
fracture toughness properties with temperature. This transition is accompa-
nied by a change in the micromechanisms of fracture. At high temperatures,
fracture occurs by microvoid coalescence whick involves the formation,
growth, and coalescence of voids formed around second phase particles. At
temperatures below the transition temperature, final fracture occurs by cleav-
age along specific crystallographic planes, which renders the material relatively
brittle. The transition temperature is primarily dependent on the highest tem-
perature at which cleavage fracture occurs in a particular steel (1).

The conventional heat treatment given to A508 class 3 forgings used in
nuclear pressure vessel applications involves a water spray quench from the
austenitisation temperature (~ 880°C) followed by a temper (2). The average
cooling rate during the quench varies through the depth of the forging and
with the overall forging thickness, and can vary between 40 and 6°C/min (3).
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Tempering is normally carried out at a minimum temperature of 650°C; in
practice this is generally the ‘aimed for’ temperature, and temperatures in the
range 610-675°C are plausible, given the normal furnace tolerances for large
components. There may also be additional tempering during the intermediate
and final post weld heat treatment (PWHT) following the various welding
operations.

The effect of quench rate and degree of tempering on the transition tem-
perature have been studied, primarily using Charpy impact tests, on a range of
low alloy pressure vessel steels, including ASTM A533B (3)(7), A508 class 2 (8)
and 20 MnMoNi35 (9). A reduction in quench rate is reported to increase
the transition temperature (3){4)(7) and an increase in the degree of tempering
initially decreases then increases the transition temperature {3)(5)(9).

Cleavage fracture in low alloy pressure vessel steels is generally triggered by
the cracking of brittle second phase particles, either carbides (L {TH10)(12) or
manganese sulphide inclusions (12). The cracking of these particles as a result
of an impingement of a distocation slip band, occuts at a critical shear stress
(z.} given by equation (1) {2)(13). The action of a shear stress on the dis-
location slip band produces a tensile stress at the tip of the slip band which
reaches the theoretical breaking strength of the particle at the critical shear
stress
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7, is the lattice friction stress

7, is the effective surface energy of the particle

v is Poisson’s ratio

d is the grain size governing the slip band length
E is Young’s Modulus

Cleavage microcracks formed by the cracking of particles propagate into the

surrounding matrix at a critical effective tensile stress (o;) given by equation
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y is the effective surface energy of the matrix
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Q is a factor dependent on the ratio of particle width to thickness (w/c)
(13)16)

o is the local tensile stress

7. is the effective shear stress, 7 — 1,

The effective tensile stress given by equation (3) comprises two components:
the first is the local tensile stress; the second is a term due to the dislocation
pile-up whose presence raises the level of tensile stresses in the vicinity of the
microcrack. The final stage in the cleavage fracture process is the extension of
the cleavage microcrack through the remaining material, and in particular
across grain or bainitic packet boundaries (17)(18). The critical tensile stress to
propagate a grain sized microcrack into the surrounding grains is given by the
Griffith equation (1)(19)
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In this case @ is dependent on the shape of the grain,

In bainitic steels, the critical stage in the cleavage fracture process is gener-
ally the propagation of particle sized microcracks {£){19).

There are two specific aims of this study: the first is to evaluate the effect of
quench rate and degree of tempering on the fracture toughness transition
properties of an A508 class 3 steel; the second is to rationalise these effects in
terms of the cleavage fracture mechanisms operating in these steels.

Experimental details

Material and heat treatment

The material used in this study is an AS08 class 3 forging manufactured by
Japan Steel Sorks. Table 1 gives the chemical composition,

Specimen blanks were cut from a block forging 1.5 m long (L) by 1.5 m wide
(1) by 510 mm thick (8) prior to the subsequent heat treatments detailed in
Table 2. The blanks were first given a normalisation heat treatment of 1050°C
for 1 hour, to ensure the dissolution of all large iron carbides, as subsequently
confirmed by transmission electron microscopy (TEM). The quench rates and
tempering conditions chosen represent the likely bounds of those experienced
in commercially produced forgings.

Table 1  Chemical composition wt percent

C S Mn P 8 Cu Ni Cr Mo Al As Sb Sn 14 Tj

022 024 137 0005 00603 006 072 011 049 003 <001 <001 002 <081 7ppm -
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Table 2 Heat treatment details

Normalisation 1 hr at 1050 £ 10°C
air cool

Austenitisation heat 100°C/hr to 300°C
heat 30°C/hr to 880°C
10 hr at 880 + 10°C

Quench 40°C/min to 500°C
26°C/min to 300°C
or
6°C/min to 520°C
2°C/min to 300°C

Temper heat 30°C/hr to 610°C
S hr at 610 £ 5°C
cool 18°C/hr to 300°C

or
heat 30°C/hr to 675°C
20 hr at 675 £+ 5°C
cool 18°C/hr to 300°C

Specimen details

Three types of specimens were manufactured: round tensile specimens (6.25
mm diameter and 25 mm gauge length) to a design given in ASTM E8M with
their gauge lengths parallel to the longitudinal {L) orientation in the original
forging; single-edge-notched, four-point bend specimens to the design shown
in reference (10), with their notch plane perpendicular to the longitudinal
orientation and crack growth dircction parallel to the through thickness orien-
tation of the forging (L-S); and 25 mm thick plane sided compact specimens
to a design based on that given in ASTM E813-87 in the L—S orientation.

Specimen testing

Tensile and single-edge-notched, four-point bend specimens were loaded at a
ram displacement rate of 0.5 mm/min at one of a number of temperatures in
the range — 196 to +80°C and — 196 to - 140°C, respectively.

Compact specimens were fatigne pre-cracked to a crack length to width
ratio (a¢/W) of approximately 0.55. Testing was carried out at a ram displace-
ment rate of 0.5 mm/min at one temperature in the range —120 to +80°C.
Specimens were loaded until they either fractured by cleavage or the applied
stress intensity factor (K) derived from the J integral reached 700 MPam?/2. In
the latter cases, the specimens were unloaded, cooled and broken apart by
rapid loading,

The J-integral at the onset of cleavage fracture or at specimen unloading
was determined using equation (5) from the area under the load versus load-
line displacement race (U) derived from the measured load versus ram
displacement trace by subtracting the previously measured extraneous dis-
placements.
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where ## = 2 + 0.522 (1 — ay/W)

B is specimen thickness

The corresponding stress intensity factor (K) at fracture or omset of
unloading was determined from equation (6), with Poisson’s ratio taken as 0.3.
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Results

Fractographic observations

The fracture surfaces of a number of compact, notched bend, and tensile speci-
mens were examined in detail using a scanning electron microscope (SEM) to
determine the position of the origin of cleavage fracture and the type and size
of the particle initiating fracture. For all the specimens examined, there was
one main nucleation site, indicated by a network of radiating major tear and
river lines. In addition to the main nucleation site, there are dispersed on the
fracture surface a number of ‘sccondary’ initiation sites. These sites have been
activated after a cleavage crack has initiated from the main site and are char-
acterised by a local region of radiating river lines. Similar features were
observed at both the main and secondary nucleation sites.

In nearly all the specimens examined, there was a fractured particle at the
cleavage nucleation sites. In the few cases where no particle was observed, this
was due to the indistinct nature of the radiating river lines close to the nucle-
ation site, making exact location difficult. Table 3 gives a summary of the

Table 3 Details of cracked particles found at main cleavage nucleation sites

Number of observations
Heat treotment of each
particle type

Tempering Specimen
Quench rate  tempjtime  geometry M,.Cq4 TiC MnS
40°C/min 610°C/5 h Compact 4 2 1
Notched bend 4 1 2
40°C/min 675°C/20 h Compact 8 — —
Notched bend 8 — —
Tensile 1 —
6°C/min 610°C/5 h Compact 8 — —
Notched bend 8 — —
Tensile — 1 —
6°C/min 675°C/5h Compact 8 —
Notched bend 8 — —
Tensile 1 —
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types of cracked particle observed at the main nucleation sites for each of the
heat treatments.

The particle most commonly found was M,,C; iron carbides identified
from energy dispersive X-ray analysis (20). The size of these particles increased
with tempering being typically 0.1-0.3 gm thickness and 0.2-0.9 pm width for
material tempered at 610°C for 5 hours and 0.3—-1.2 um thickness and 0.3-2.9
um width for material tempered at 675°C for 20 hours. In addition titanium
carbides of about 0.5 um thickness and 1.4 ym width and manganese sulphide
inclusions in the size range 1.5-6 um were occasionally observed in material
quenched at 40°C/min and tempered at 610°C for 5 hours. Figures 1 and 2
show examples of fractures initiated by M,,C¢ particles. The two lower frac-
tographs in each figure are from the matching regions on the two specimens
halves and clearly show that the initiating particle has itself cleaved.

Microstructural characterisation

Figure 3 shows optical micrographs of polised and etched (in 2 percent nital)
sections for the four heat treatments. The faster quench rate (40°C/min) has
given rise to a mainly bainitic microstructure, while the microstructure follow-
ing the slower quench contains an increased proportion of ferrite. The effect of
the longer tempering heat treatment (675°C for 20 hours) has been to partially
spheroidise the carbides. Table 4 gives the mean ferritic grain size for each
heat treatment determined as 1.5 times the mean linear intercept. The grain
size is larger in material given the slower quench, but there is no effect of
tempering on the grain size. The latter result suggests that the material has not
been recrystallised even after the longer tempering heat treatment.

Carbon extraction replicas, examined in TEM, were used to determine the
particle thickness (c) distributions arising from the heat treatments. About
2000 individual particles were assessed for each condition. The measured area
particle thickness distributions [N,(c)] were converted to true or volumetric
distributions [V (c)] using equation (7) (21).

N (e)dc
N = o ™
where (W/c), is the average width to thickness ratio of the particles and
dW/c), the assumed distance below the specimen surface from which particles
are extracted. Figure 4 shows the normalised volumetric particle thickness dis-
tributions for each of the four heat treatments, for particles thicker than 0.022
and 0.05 gm for the short and long tempering heat treatments respectively.
The volumetric distributions were fitted to a simple exponential function given
by equation (8). The values of the coefficients A and B are given in Table 4.

N(c) = Ae B¢ )
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Fig1 Fractographs showing cracked iron carbide at main nucleation site in material, guenched
6°C /min and tempered 675°C for 20 hours

The thickness of the particles is considerably greater following the longer
tempering treatment. In addition, the particle distributions are similar for the
two guench rates, except that there is a slightly higher proportion of largt.ar
particles in the slower quenched materials. The number of iron carbides in
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Fig 2 Fractographs showing cracked iron carbide at main nucleation site in material, guenched
40°C/min and tempereé 675°C for 20 hours

each size range observed at the main nucleation sites are also given in Fig. 4.
The carbide particles which nucleate fracture represent the coarser particles
found in the microstructure, for all testing temperatures investigated (—196-
+80°C).

EFEECT OF HEAT TREATMENT ON FRACTURE TOUGHNESS 595

NN R
40°C/min, 675°C - 20h

8°C/min, 810°C - 5h 6°C/min, 675°C — 20h
Fig 3 Optical micrographs of polished and etched sections for the four heat treatments

Tensile results

Figure 5 shows the effect of temperature on the 0.2 percent proof stress (5g ;)
and ultimate tensile stress {¢,) for material tempered at 610°C for 5 hours or
675°C for 20 hours, following a quench at 40 or 6°C/min. In each case, the
proof and ultimate tensile stress decrease with increasing temperature, particu-
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Table 4 Grain size and particle thickness distributions

Heuat treatment

Coefficients of particle
thickness distribution

Tempering Grain size
Cooling temperature + standard error A B
rate and time um pm3 um !
40°C/min 610°C-5h 47 +03 54 000 71
40°C/min 675°C-20 h 46 +02 350 14
6°C/min 610°C-5h 9.5+ 03 15000 58
6°C/min 675°C-20 h 94+ 04 63 13
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larly at low temperatures. The proof and ultimate tensile stresses are lower for
material quenched at the slower rate, which is probably mainly duc to the
larger ferritic grain size, see Table 4. The effect of increased tempering is also
to tower the proof and ultimate tensile stress, probably due to dislocation
recovery and particle coarsening. The tensile data were used to calculate the
variation with temperature of Young’s modulus, strain hardening and refer-
ence stress {22).

Notched bend and fracture toughness results

The stresses penerated in blunt-notched and sharply cracked specimens vary
with distance ahead of the notch or crack (23)-(28). In blunt notched speci-
mens the peak tensile siress occurs ahead of the notch tip and both the dis-
tance ahead of the notch and magnitude of the peak tensile stress increase with
specimen loading. The shear stresses are highest at the notch tip and also
increase with specimen loading, The tensile stress distribution generated ahead
of a stationary sharp crack shows a peak value located ahead of the crack tip
at a distance (Xp) which increases lincarly with K2, The peak shear stress is
generated at the crack tip. Both tensile and shear stress distributions ahead of
sharp cracks are independent of the level of K when the distance ahead of the
crack tip is normalised by (K/s,)?, but are dependent on the reference stress
(0.}, work hardening exponent and Young's modulus. The stress distributions

Stress
o

1\\
0 i { I ]
o] X #1411 0-010 . 0-018 0020

x/(k,'u-r)z

Fig 6 Shear (7), tensile (o) and effective tensile stress (g,) distributions ahead of a sharp crack for
a material with a2 work hardening exponent of 0.1 and a reference stress to Young’s modulus
ratio of 1300
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ahead of the crack tip after some amount of ductile crack growth will be
approximately the same as those generated ahead of stationary cracks provid-
ed J uniquely describes the crack tip conditions (26).

The effective tensile stress distribution in both blunt notched and sharply
cracked specimens {equation (3)) is dependent on the tensile and shear stress
distributions, the particle size, grain size, and lattice friction stress. As an
example, Fig. 6 shows the effective tensile stress to reference stress ratio as a
function of normalised distance ahead of a sharp crack for a particle size of
0.57 ym, a grain size of 4.6 um and lattice friction stress to reference stress
ratio of 0.13, typical for a material given a 40°C/min quench and a temper at
675°C for 20 hours. Effective tensile stress values are higher than the tensile
stress values, and the peak effective tensile stress occurs closer to the crack tip
than the peak tensile stress value.

Fractographic examination of broken specimens aflows the position of the
main nucleation site ahead of the notch tip (X,) to be determined. Comparison
of the relative positions of the main nucleation site and the peak tensile stress
{(X,) can indicate which type of stress (i.e. shear, effective tensile or tensile) is
critical for cleavage fracture and thus the critical stage in the cleavage fracture
process, as each of the stages in the cleavage fracture process involves a differ-
ent type of stress, sec above. Figures 7 and 8 show X /X data as a function of
test temperature for the various heat treatments tested using blunt notched
and sharp cracked specimens, respectively.
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Fig 7 Effect of temperature on X /X ratio in notched bend specimens for the four hest frentments
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Fig 8 Effect of temperature on X /X ratio in compact specimens for the four heat treatments

In cases where iron carbides were found at the main nucleation sites {non-
subscript points) the X /X, ratio is above zero but less than unity. Therefore,
in thesc cases the main nucleation sites are located close to the peak effective
tensile stress, suggesting that the propagation of particle sized microcracks is
the critical stage. It is worth noting that for compact specimens when the
X /X, ratio is less than unity, the level of the tensile stress at the nucleation
site was decreasing with increasing loading at the latter stages of loading prior
to fracture. The X /X, ratio when fracture is nucleated by the cracking of
manganese sulphide inclusions in compact specimens or manganese sulphide
or titanium carbide particles in blunt notch specimens is significantly greater
than unity. In these cases, it is not possible to ascertain the type of stress
controlling fracture from the X /X results but the level of the shear, tensile or
effective tensile stress at the initiation site for fracture will be less than the peak
values.

Comparison of Figs 7 and 8 shows a higher proportion of fracture initiation
sites at low values of X /X in sharp cracked specimens as compared with
blunt notched test pieces. In both geometries low values of X /X, are associ-
ated with small particles resulting from the shorter tempering treatments. This
can be understood with reference to eguation {3), where the shear stress contri-
bution to the effective tensile stress is more dominant with decreasing particle
size. In sharp cracked specimens this effect is more pronounced as the levels of
shear stress close to the crack tip are higher than found in blunt-notched
specimens.

In cases where the critical stage of the cleavage fracture process is the pro-
pagation of particle sized microcracks, the effective tensile stress at fracture
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Fig 9 Effective tensile stress versus (@/c)*? in notched bend and tensile specimens for the four heat
treatments .

should be inversely dependent on the particle size, see equation (2). Figures 9
and 10 show the effective tensile stress at fracture versus (Q/c)'/? for the
notched bend specimens and tensile specimens (tested at —196°C), and for
compact specimens respectively. The effective tensile stress was determined
using equation (3) from the tensile and shear stresses at the nucleation site as
determined from the notch and crack tip stress distributions (23)(24), the
cracked particle dimensions measured from the fracture surface, the grain size
given in Table 4 and the lattice friction stress (¢;) determined from the Hatl-
Petch (27)(28) equation, assuming a Tresca vield criterion.

0‘0‘2 = ZTi + kY dl'iz (9)

where k, the Hall-Petch coefficient, was taken as 0.55 MN/m*-* (29).

It can be seen from Figs 9 and 10 that there is a reasonably linear relation-
ship between the critical effective tensile stress values at fracture and (Q/c)¥/? in
cases of iron based carbide nucleated fracture. In addition, the resulis for tita-
nium carbide nucleated fracture are conmsistent with those for iron carbide
nucleated fracture. Therefore, this suggests that the propagation of particle
sized microcracks is the critical stage in these cases, see equation (2). In addi-
tion, values of the effective surface energy for the ferritic matrix (y) determined
from equation (2) taking Young’s modulus as 214 GPa and Poisson’s ratio as
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Fig 10 Effective tensile stress versus (2/c)*/? in compact specimens for the four heat treatments

0.3, are between 2.5 and 5.9 J/m?, within the range reported for other ferritic
steels of 2 to 21 J/m? (1). The range of y values determined (2.5-3.9 J/m?)
include cases where fracture is initiated from iron and titanium carbides in
tensile, notched bend, and compact specimens. Both the size of initiating par-
ticles and the critical effective tensile stress were found to be only weakly
dependent on test temperature.

The effective tensile stress values in the cases where fracture was nucleated
from manganese sulphide inclusions is higher than those predicted from the
carbide results. This occurs because the values of the effective tensile stress
within the plastic zone are more than sufficient to propagate microcracks
formed in the larger manganese sulphide inclusions and therefore this is no
longer the critical stage. Furthermore, the critical stage is not the propagation
of grain sized microcracks because the tensile stress, which cquals the effective
tensile stress in the case of large particles, will be more than sufficient to pro-
pagate grain sized microcracks as the grain size exceeds the particle size.
Therefore, the critical stage is the cracking of the particle in these cases. Con-
sistent with this conclusion is the fact that the values of the effective surface
energy for manganese sulphide derived from the shear stress at fracture using
equation {1) are between 0.6 and 1.1 J/m?, and hence less than that determined
from the ferritic matrix. This is a necessary condition for particles to act as
brittie cleavage nucleation sites.

Figure 11 shows the effect of temperature on fracture toughness (K;) mea-
sured from compact specimens, for the four heat treatments. These data have
been analysed using multilinear regression to determine the effect of heat treat-
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Fig 11 Effect of temperature on fracture toughness for the four heat treatments

ment on the transition toughness properties. A wide range of equations were
fitted to the data: the most accurate was found to be equation (10)

In(K;—35MPa/m)=A+BxQR+CxTC+DxT (10)
where

A, B, C, D are fitted coefficients (4 =558, B= —0.761, C=1.76, D =

0.0252)

T is temperature in °C

QR is the quench rate coefficient (—0.5 if 6°C/min, 0.5 if 40°C/min}

TC is the tempering treatment coefficient (—0.5 if 675°C for 20 hours and
0.5 if 610°C for 5 hours).

Higher order terms of temperature, quench rate and degree of tempering such
as T, QR x T, and TC x T were found to be not statistically significant at
the 95 percent confidence level. The toughness—temperature relationships pre-
dicted from equation (10) are given in Fig, 11. It can be seen that equation (10)
gives a reasonable fit to the data over a wide range of toughness values. Equa-
tion (10} suggests that the shift in toughness properties with changes in quench
rate and degree of tempering is uniquely defined and not inter-related or
dependent on temperature, Similarly, the shift in the transition temperature
{defined as the temperature for a given level of toughness) due to changes in
quench rate or degree of tempering is uniquely defined. The increase in tran-
sition temperature (+ standard error) due to an increase in the degree of tem-
pering from 610°C for 5 hours to 675°C for 20 hours is 70 £+ 5°C. A decrease




604 DEFECT ASSESSMENT IN COMPONENTS

Table 5 99 percent percentile particle sizes (zm)

Tempering temperature (°C)/time (h)

610/5 875120
Quench rate (°C/min} 6 0.079 0.354
40 0.065 0.329

Coefficients (mean + standard error) in transition temperature
to grain and particle size relationship (equation {12))
F= 17372 +003°C
G = 2717 + 001°C/um 2
H = 221.40  0.03°C/um '/

in quench rate from 40° to 6°C/min increases the transition temperature
(+ standard error) by 30 £ 5°C,

Effect of temperature on effective surface energy

Figure 12 shows the effect of temperature on the effective surface energy for
the ferritic matrix determined using equation (2) from the effective tensile stress
and particle sizes at fracture measured in compact, notched bend, and tensile
specimens in cases where fracture was nucleated by iron or titanium carbides.
Similar results were obtained for material generated at 6°C/min. The effective
surface energy is independent of temperature in the range — 196 to +60°C. In
addition, there is little or no effect of test specimen geometry, particle type,
(i.e., iron or titaninm carbide) or heat treatment on the effective surface energy.

REY
Tempering temperature /! time
Geometry 610°C / 5h §75°C/ 200
10— Compact ] &
Notch bend o] &
Tensile 4
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Fig 12 Effect of temperature on effective surface energy for ferritic matrix for material quenched
at 40°C/min
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Discussion
Cleavage initiating particles and the cleavage fracture mechanism

Fractographic observations of broken specimens show that for the material in
this study, cleavage fracture is initiated by the cracking of brittie second phase
particles, primarily iron based carbides, see Table 3. The importance of car-
bides in the cleavage fracture mechanism of quenched and tempered bainitic
and martensitic steels has been noted by a number of authors (1}{(7)10)-
{12)(30)(31). Naylor and Guttman (7) observed that secondary cleavage cracks
below the fracture surface had apparently initiated from iron carbides of the
type found in this study (M ,;C;). In addition Bowen et al. (10) showed a link
between the coarsest carbide size located in the microstructure and the peak
tensile stress at fracture measured in notched bend specimens. Further analysis
of their data reveals a better link between coarsest carbide size and peak effec-
tive tensile stress at fracture (1).

Observations that titanium carbides can initiate fracture in quenched and
tempered bainitic steels has not apparently been reported previously.
However, Lewandowski and Thompson (32) have observed that Ti (C, S)
inclusions can initiate fracture in pearlitic steels, In the present study, titanium
carbides were only observed to initiate fracture in material given the shorter
tempering treatment (610°C for 5 hours), The explanation for this is due to a
change in the relative size of the titanium and iron carbides with tempering.
Titanium carbides could not be dissolved by the initial 1050°C heat treatment
and would therefore be present prior to subsequent tempering treatments. In
material given a short tempering treatment, the coarsest iron carbides (0.2 to
0.3 pm) are smaller than the titanium carbides (0.5 um). In these cases, the
titanium carbides are relatively potent cleavage nucleation sites because the
required effective tensile stress values to initiate fracture is lower {see equation
(2)) and consequently they are occasionally observed to initiate cleavage frac-
ture, even though they have a much lower population density than the car-
bides, due to the low titanium content of the steel, see Table 1. In material
given the long tempering treatment (675°C for 20 hours), the coarsest iron
carbides (1 to 1.2 um) will be larger than the titanium carbides. The titanium
carbides will not coarsen significantly with tempering because of the large dis-
tances between these sparsely populated particles over which diffusion of
chemical species has to occur. Therefore, in these cases, the titanium carbides
are no longer relatively potent cleavage nucleation sites and consequently
would not be expected to initiate cleavage fracture.

The only other type of particle observed to nucleate fracture in this study
were manganesc sulphide inclusions, see Table 3. Manganese sulphide inclu-
sions have also been observed by Rosenfield et al. (12)(30) to initiate cleavage
fracture in quenched and tempered bainitic steels. Their evidence suggested
that cleavage fracture from manganese sulphide inclusions was particularly
prevalent at temperatures corresponding to the upper transition regime (30).
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However, this suggestion is not supported by the results in this study, which
show that manganese sulphide initiated fracture was apparently limited to
temperatures corresponding to the lower shelf regime, sec Figs 7 and 8, The
observations of manganese sulphide initiated fracture are perhaps surprising,
given that manganese sulphide has a higher thermal expansion coefficient than
steel (33). Consequently, on cooling the steel from the hot working tem-
perature, a stress distribution is set up in and around the inclusion trying to
debond the inclusion from the matrix: in such a case the inclusion could no
longer crack and act as a cleavage nucleation site. However, the larger size of
the inclusions relative to the carbides does make them potent cleavage nucle-
ation sites if they can be made to fracture. This is particularly the case for
material given the shorter tempering treatment and faster quench {compared
in Figs 7-11), which probably explains why manganese sulphide initiated frac-
ture is apparently limited to material given this heat treatment, scc Table 3.

The values for the effective surface energy for the ferritic matrix (p) were
found to fall in a relatively narrow band between 2.5-5.9 J/m? and within the
range reported for other bainitic steels of 2-12 J/m? (1). The lower variability
of y found in this study is primarily due to the fact that the values of y in this
study were calculated from known sizes of particles which initiated fracture,
whereas those reported in reference (I) were generatly obtained assuming that
the coarsest or near coarsest particle (typically carbides} observed in the
microstructure initiated fracture. The results of this study show that this is not
always a reasonable assumption, see Fig. 4.

The y values calculated in this study are apparently independent of heat
treatment, see Figs 9 and 10, consistent with the results in reference (1) which
reported similar y values for a wide range of ferritic steels, including low
carbon, mild, spheroidised, pearlitic, bainitic and martensitic steels, as well as
weld metals.

v was found to be independent of temperature over the whole measured
range of —196 to +60°C, which spans the lower shelf and the transition
regime, see Figs 11 and 12. The experimental evidence on ferritic steels in the
literature also supports the conclusion that y is basically temperature indepen-
dent (i). Tetelman (34), following a theoretical analysis, suggested that 7y
would increases with increasing temperature due to additional dislocation
motion during crack propagation. However, provided the cleavage propaga-
tion rate is high, the effect of temperature is predicted to be very small over the
temperature range of interest {—200 to + 100°C). The effect of temperature on
y reported by Wallin et al. (35) arises from an atiempt to model the rapid
increase in fracture toughness properties in the transition regime from a know-
ledge of the mechanisms of cleavage {racture. In the model, fracture toughness
is predicted from the known crack tip stress distributions and the particle size
distribution using equation (2), but neglecting the shear stress term when cal-
culating the effective tensile stress. In order to predict the rapid increase in
transition toughness properties using the model, y had to be highly tem-
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perature dependent. The resuits of this study show that this assumption is
incorrect, as y is approximately independent of temperature even in the tran-
sition regime. An alternative explanation of the rapid increase in transition
toughness properties with temperature is discussed below.

Another important assumption in the model of Wallin et al. (35) is that only
a proportion of the particles present in the microstructure can be considered
as potential nucleation sites (i.e. an eligibility factor) and that this proportion
is independent of temperature. The cligibility factor is the probability that a
particle will crack in a region where the effective tensile stress is sufficient to
propagate a particle sized microcrack. Using an eligibility factor avoids the
need to model the occurrences of particle cracking in the plastic zone around
the crack tip, which would require a knowledge of the number of particles of
cach size which crack as a function of shear stress and the factors affecting this
relationship. To ascertain whether the eligibility factor is temperature indepen-
dent, the results of this study have been used to determine approximate esti-
mates for the eligibility factor. The eligibility factor was determined from the
inverse of the number of particles of size equa! or greater than that which
initiated fracture, which were subjected to an effective tensile stress equal to
that at fracture. This in turn was determined from the number of particles per
unit volume with a size equal to or greater than that observed on the fracture
surface obtained from the particle size distribution (equation (8)), and the
volume of material subjected to an effective tensile stress equal to that at frac-
ture. The latter, as a first approximation, is given by equation (11).

Volume subjected to effective tensile stress for fracture

= Specimen thickness x (X, + Aa)* (11)

where X + Ag, the distance from the original crack tip to the nucleation sites,
is the distance ahead of the original crack tip in which material was subjected
to an effective tensile stress equal to that at fracture, at some stage during
specimen loading, see above. Figure 13 shows a plot of the eligibility factor
versus temperature, referenced to the temperature corresponding to a tough-
ness of 250 MPa,/m obtained from equation (10) for the four heat treatments.
The eligibility factor decreases with increasing temperature, showing that there
is a reduction in the proportion of particles which crack as the temperature
increases. There is some evidence to support this observation. McMahon and
Cohen (36) observed that the number of cleavage microcracks arising from
cracked carbides in a plain carbon steel decreased with increasing temperature
at a given level of strain in tensile specimens. Therefore, it would appear that
the rapid increase in fracture toughness propertics in the transition regime is
due to a reduction in the eligibility factor rather than a change in v,

The effect of temperature on the eligibility factor, and thus the proportion of
particles which crack, can be understood by considering the mechanism of
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Fig 13  Eligibility factor versus temperature relative to that for a toughness of 250 MPa./m

particle cracking. Particle cracking results from the very high tensile stresses
generated ahead of a blocked dislocation slip band acted upon by a shear
stress. However, as the temperature increases, dislocation cross slip and climb
becomes more prevalent and these can relieve the tensile stresses which are
generated, and so inhibit the particle cracking, Therefore, as the temperature
increases, there will be proportionately fewer particles which crack. There are
two factors which are likely to affect the temperature at which there is a sig-
nificant reduction in the number of particles which crack, and thus the tran-
sition temperature; the first is particle size because it will be more difficult for
a dislocation to cross slip or climb arcund a larger particle; the second is grain
size, as increasing grain size increases the length of the dislocation slip band,
which in turn increases the stresses generated at the tip of a blocked slip band
(37), and thus the likelihood of sufficient stresses being generated to crack the
particle. Therefore, the transition temperature, defined in this instance as the
temperature corresponding to a toughness of 250 MPa,/m as determined from
equation (10) (Tx_,s,) should be related to grain size and particle size. As
cleavage fracture is principally initiated from the larger iron carbide particles
found in the microstructure, the appropriate particle size to relate to transition
temperature is considered to be that corresponding to the 99 percent percen-
tile (Cyo), as determined from the particle size distributions given by equation
(8). Table 5 gives the values for Cy,. The large manganese sulphide inclusions
observed to nucleate cleavage fracture in material quenched at 40°C/min and
tempered at 610°C for 5 hours, did so only infrequently and only at relatively
low temperatures. Consequently, the mean transition temperature for this
material is governed by the carbide size rather than the inclusion size. The
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transition temperature was related to grain and particle size using equation
{12).

Taezso = F + G x d¥? + H x CM2 (12)

The square root dependence of grain size follows from the fact that the stresses
generated ahead of a blocked slip band are proportional to the square root of
the slip band length and thus the grain size (37). The square root dependence
of carbide size follows a suggestion by Mintz (38). The coefficients F, G, and H
were determined by multi-linear regression, and their mean and standard
errors are given in Table 5. The standard error values are relatively small as
the fit to the data was very good, with the regression coefficient being
0.99999998, Other possible dependence of grain size and particle size on tran-
sition temperature were investigated, but the fit to the data was never as good
as with equation (12). Equations (12) and (10) can be combined to give equa-
tion (13) which relates the toughness—temperature relationship to grain and
particle size.

In (K; — 35 MPa,/m) = 9.75 + 0.00252 x T — 0.685 x d'/Z — 5.58 x Ci{f
(13)

Equations (12) and (13) have been determined for one cast of A508 class 3
steel, Further work on other pressure vessel steels is in hand to determine
whether these equations have wider applicability.

Conclusions

{1) Decreasing the quench rate in an ASTM A508 class 3 steel forging from 40
to 6°C/min raised the transition temperature by 30 + 5°C (mean + stan-
dard error), The effect of quench rate was primarily due to a change in the
ferritic grain size. There was little effect on carbide sizes.

(2) Increasing the degree of tempering from 5 hours at 610°C, to 20 hours at
675°C raised the transition temperature by 70 4+ 5°C (mean standard
error). The effect of tempering was due to an increase in carbide size.

{3) Cleavage fracture was initiated by the cracking of particles, primarily iron
based carbides (M,;C, type), but occasional titanium carbides and man-
ganese sulphide inclusions. The critical stage in the cleavage fracture
process was dependent on particle size. In the case of the iron and titanium
carbides, all smatler than 1.2 gm, the propagation of particle sized micro-
cracks into the ferritic matrix was the critical stage. For the manganese
sulphide inclusions observed to nucleate fracture, alt larger than 1.5 ym,
the cracking of the particle was the critical stage.

(4} The effective surface energy for cleavage propagation in a ferritic matrix (y)
was in the range 2.5 to 5.9 J/m? v was independent on test specimen
geometry {plain tensile, blunt notched four-point bend, and fatigue cracked
compact specimen) and particle type (iron or titanium carbide). There was
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no effect of temperature on y in the range —196 to -+60°C and conse-
quently this does not explain the sharp increase in fracture toughness
properties in the transition regime,

(5) The sharp increase in toughness in the transition regime is apparently due
to a reduction in the number of particles which crack and act as potential
cleavage nucleation sites. Increases in particle size and grain size raise the
transition temperature probably due to an effect on the number of cracked
particles.
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