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ABSTRACT

A bainitic Cr-Mo-V alloyed pressure vessel steel in three heat treatment conditions
has been investigated. The effective grain size e.g. the pbainitic packet size is
not sensitive to the heat treatment whereas the size and distribution of the car-
bides and the dislocation density vary with tempering. The yield strength and the
cleavage fracture strength has been shown to depend on the dislocation density, but
the fracture process is controlled by the bainite packet boundaries. The cleavage
fracture strength can be divided into two parts, the tensile or macroscopical and
the microscopical one. In certain cases when the strain hardening is large enough
a yield controlled cleavage fracture strength can be found. The fracture facets
are of the same size as the bainite packet. The characteristic distance is depend-
ent on the cleavage fracture strength and it is several times larger than the
bainite packet. Using a model of the temperature dependence of the fracture
toughness the toughness has been expressed as a function of the average mesh length
of the dislocation network.

KEYWORDS

Fracture toughness; bainite; carbides; microstructure.

INTRODUCTION

The effect of small precipitates on toughness has not been very extensively studied
and the results are contradictory (Ritchie and co-workers, 1979; Nakazawa and Krauss,

1978).

Weak dislocation obstacles were found to be detrimental to the toughness (Hahn and
Rosenfield, 1966a). However, if strong obstacles are small enough, they can raise
the resistance to brittle fracture. This is due to the fact that the dislocation
pile-ups then became shorter and their length approaches the interparticle distance.
The formation of dislocation pile-ups can be even prevented and the small particles
cause more homogeneous deformation (Tanaka and co-workers, 1975; Naylor, 1979) and
thus they are advantageous to the toughness (Roesch, 1973; Kamada and co-workers,
1976).

217



218 H. Kotilainen

Carbide distribution or dislocation density is only seldom considered in relation
to the fracture toughness. In the follow1ng, attention is paid to a bainitic
steel in three heat treatment conditions, in which the bainitic packet size re-

mains constant, but the amount of carbldes and the dislocation density have been
varied.

RESULTS

The material studied was a bainitic Cr-Mo-V alloyed steel with 0.16 % Cc, 2.8 % Cr,
0.6 % Mo and 0.3 % V. The heat treatment was a quench and temger Q1mu1%f1ng the
coollng of a thlck plate. Three dlfferent heat treatments 940 C/5 h/6OOOC/2O h,
980°C/6 1n/670°C/20 h and 980°C/6 h/760°C/20 h were used (Térrdnen, 1979). In the
following these different heat treatments are identified with M, T and K, respect-
ively. These heat treatments correspond to the tempering parameters 18650 (M)
20100 (T) and 22000 (K). In Fig. 1 the respective yield strength values are
given. Figure 1 shows how the heat treatments are located on the tempering curve

(T8rrdnen, 1979). Figure 2 shows the distribution of the small vanadium carbides
in heat treatment condition T.
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Fig. 1. Room temperature tensile yield Fig. 2. Vanadium carbides in heat treat-
strength as a function of the ment condition T.
tempering parameter.

Four different grain size units must be considered. The prior austenite grain
size is divided into packet bundles, which are composed of parallel packets. The
packets are the smallest units surrounded by high angle boundaries. The packet
size is not dependent on the prior austenite grain size. The packets are further
divided into parallel laths and/or cells. The size and distribution of the MC-
type carbides are both strongly dependent on the heat treatment. The microstruc-—
tural units are given in Table 1 (Tdrrdnen, 1979).
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TABLE 1 Microstructural units for the heat treatment con-—
ditions K, T and M.

Unit Heat treatment condition
K T M

Priocr austenite grain (um) 110 115 50

Packet (mean) (um) 3.0 3.0 3«0

Mean caliber diameter of the

MC-type carbide (nm) 43.3 14,2 5.5

Planar interparticle spacing (nm) 466 131 51

Mesh length of dislocation

network (nm) 135 82 I¥e)

Dislocation density (xlO_l cm—z) 2 6 16

Tensile tests were performed in the temperature range 12-300 K to establish the
temperature dependence of the yield strength. The yield strength was taken to be
the lower yield strength value or the 0.2 % proof strength. The results are given
in Fig. 3 for all three heat treatment conditions.

The fracture toughness K_  has been measured using 25 mm thick CT and 3-point bend
specimens and one 75 mm %%ick specimen. Valid K values were measured up to 185 K,
and these values are denoted in Fig. L with filled points. The K, versus tem-
perature curve has been estimated between the temperatures 185 K ana 260 K using
the J-integral calculation method reported by Chell and Milne (1976). The points

at 77 K were not valid because of the too high precracking load. However, this is
not thought to seriously affect the results. All specimens up to 260 K showed a
cleavage type fracture.
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DISCUSSION

Cleavage Fracture Strength

To separate the temperature dependent component of the yield strength from the tem-—
perature independent component, a function given in Eq. (1) was used (Yaroshevich
and Ryvkina, 1970)
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in which 0, is the yield strength, 0, is the temperature independent component of
the yield Strength, o, is the yield trength at 0 K, m is a constant and T is the
temperature. The conStants in Eq. (1) are given in Table » for the three heat
treatment conditions.

TABLE 2 The temperature dependence of the yield strength

Condition ¢ o m Temperature range
(Mmh=2)  (1m82) (k-1 (x)

K 285 1640  0.0104 31 < T < 248

T 500 1755 0.010k 30 < T < 233

M 905 1955 0.0104 17 < T < 199
Following the idea of Wobst and Aurich (1977), the value of 0_ can be interpreted
as the cleavage fracture strength 0, . This idea holds for the uniaxial tension
case and for blunt notch specimens Fﬁotilainen, 1980). The 0. wvalue has to be

distinguished from the microscopical cleavage fracture streng%ﬁ 0.*, which was es-—
tablished by Tetelman and co-workers (1968). 1Ir a limiting notch root radius_po
characteristic for the material in question exists, then the fracture toughness“k

can be given (Malkin and Tetelman, 1971) e
= * _ _ 1/2
Kre = 2.90,[exp(a,, /oy = 1) - 1] Vo (2)
Using the value of p = 1) Hm according to Kotilainen and co-workers (1980) the

fracture toughness (?ig. 4) and the yiela strength (Fig. 3), Eq. (2) can be applied
for the estimation of the microscopical cleavage fracture strength. The calculation
shows that the cleavage fracture strength increases with decreasing_gemperature for
the condition T, but approaches a fairly constant value of 3000 Nmm © at low tem-
Peratures. The calculation is not performed for the conditions M and K because
there is not sufficient fracture toughness data. TIf the limiting notch root radius
is characteristic for the material and can be related to the grain size as predicted
by Malkin and Tetelman (1971), the calculated microscopical cleavage fracture
strength should also apply to the heat treatment conditions M and K. However, oo
measured in the tensile test is definitely different for the different conditiong

K, T and M.

Another approach to estimate the cleavage fracture strength is to use the result of
Rice and Rosengren (1968) for calculating the maximum stress in front of a crack as
a function of the strain hardening exponent. 1In Fig. 5 the strain hardening expo-
nent calculated by means of the tensile test data is given. Performing the calcu-
lation and putting the peak stress at the crack tip equal to the cleavage fracture
strength, continuously increasing strength values with decreasing temperature are
found. At low temperatures (< 100 K) a fairly constant value given in Table 3 is
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Fig. 5. Calculated strain hardening exponent as a
function of temperature.

TABLE 3 Estimated cleavage fracture strength for the
different heat treatment conditions.

Condition Cleavage fracture strength (Nmm—2)
K 2550
T 3015
M 3650

For the heat treatment condition T a fairly constant value of 2550 Nmm_2 for the
calculated stress has also been found at intermediate temperatures (120-2L40 K).
The same value can be found using Eg. (2) if p_ is equal to 30 um. This constant
value is due to the rapid increase of the straln hardening, which in the specific
temperature range is able to compensate the drop of the yield strength. This be-
haviour is not observed in other materials, because in condition K the drop of the
yield strength with increasing temperature is so large that the strain hardening
cannot compensate it. In condition M the strain hardening is so low that the drop
of the yield strength is not compensated.

Therefore the intermediate value of 2550 Nmm_2 can be interpreted as a microscopi-
cal cleavage fracture strength in yield controlled fracture, whereas the low tem-—
perature values of Table 3 are microscopical cleavage fracture strengths in a mech-
anism controlled fracture. Consequently the cleavage fracture of the heat treat-
ment condition K at all temperatures is yield controlled, whereas the cleavage
fracture of the heat treatment condition M is always controlled by the mechanism.
The cleavage fracture strength can also be estimated using the Griffith-Orowan
equation

r2E vy L./i2
———
(1-v2)ma

O¢c (3)

where E is Young's modulus, Y_ the effective surface energy and 2a the crack length.
If the crack length is equal to the mean fracture facet size (3.6 um) (Kotilainen,
1980), which in turn is equal to the Eainitic packet size, and the effective sur-
face energy 1s chosen equal to 120 Jm (Brozzo and coO-wOrksrs, 1977; Roman and co-—
workers, 1979), the cleavage fracture strength of 3100 Nmm is found. This value
corresponds well to the estimated cleavage fracture strength for the condition T
given in Table 3. For conditions K and M the Griffith-Orowan equation gives
approximately the same value for the cleavage fracture strength because the size of
the fracture facet is almost constant.
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The cleavage fracture strength can now be correlated to the microstructure. The
packet size cannot be considered, because it does not change between the different
heat treatments. The yield strength ¢ at 0 K can be interpreted as the maximum
cleavage fracture strength in a uniaxiSl tension test, o . Therefore it can
be correlated to the same factors which determine the yigigagtrength i.e. the small
carbides and the dislocation density. 1In Fig. 6 a o is plotted against the
dislocation density p. and the average mesh length o§c§§§location network L . 1In
Fig. 6 b the microscopical cleavage fracture strength is also given as a function
of the dislocation density Py and of the mesh length Lm.

A fairly linear dependence is found for both variables. Therefore it seems reason—
able that the cleavage fracture strength is related to the dislocation density as
found by Groom and Knott (1975) in the case of cold worked material. The inverse
of the mesh length of dislocation network is related to the square root of the
dislocation density. According to this, the slightly nonlinear dependence between
0.*¥ and I is predictable. The physical meaning of the cleavage fracture strength
cannot be explained by the microstructural dependence. However, this dependence
can be used for design of alloys, although it must be realized that a high value

of the cleavage fracture strength does not necessarily result in high toughness.
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The Characteristic Distance

Ritchie and co-workers (1973) introduced the idea of the characteristic distance
over which the stress has to exceed the cleavage fracture strength to obtain frac-—
ture. The characteristic distance can be calculated by means of the stress dis-
tributions of Rice and Johnson (1970) and Tracey (1976) for a blunted crack and

for a sharp crack, respectively. However, if L — is used for the cleavage frac-—
ture strength, the characteristic distance is not eonstant but increases with in-
creasing temperature (Fig. Ta) (Kotilainen, 1979). This is probably due to the low
stress concentration which in turn leads to very large distances ahead of the crack
tip - larger than the plastic zone. Therefore, the stress distributions are no
longer valid and the calculation of the characteristic distance fails. By using
the microscopical cleavage fracture strength given in Table 3, estimates for the
characteristic distance can be made. The result of the calculation is given in
Fig. Tb. The calculation has been performed using the actual strain hardening
exponent (Fig. 5) and both Rice-Johnson's and Tracey's stress distributions. FQE
comparison the characteristic distance calculated from the value o = 2550 Nmm

is also given. The characteristic distances according to Fig. 7 aré given in

Table L for the heat treatment condition T.
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TARLE L Characteristic distance X of the heat treatment
condition T.

Stress distribution Opn (Nmm—g) X (1m)
Rice-Johnson 3100 19
Tracey 2550 25
Tracey 3100 8
Tracey 1755 65

For the condition K no constant value can be found and for the condition M there

is not enough data for carrying out the calculation. However, the tendency is
quite clear that with increasing cleavage fracture strength the characteristic dis-
tance decreases. According to Table L and Table 1 the characteristic distance
varies between 2.7 d_ and 8.3 4 _, if 4_ is the bainitic packet size. These values
correspond well withPthe 1iterabure data but are, however, slightly larger. There-
fore, it can be assumed that in a bainitic packet structure with high dislocation
density more microstructural units are involved in the fracture process than in
mild steel. This is consistent with the observation that in a structure with high
dislocation density the yielding of numerous small units results in the same effect
as the yielding of few grains. Assuming that all the carbides are nucleated on the
dislocations, the average length between carbides along the dislocation line can be
obtained by dividing the dislocation density by the carbide density. This gives a
value 146 nm for the condition T, whereas the average mesh length is 82 nm accord-
ing to Table 1 (Térrénen, 1979). A vanadium-rich carbide is on the average found
on 2/3 of the dislocation nodes and the critical radius of a dislocation source is
a half of the mesh length. Using this knowledge T6£§6n8§3(l979) has calculated the
number of operating dislocation sources of 1.5 + 10 cm However, if the number
of possible dislocation sources S is estimated according to Eq. (L)

Pq
S = I (L)
m

the result is 7.bh - 1015 cmﬁs. This result indicates that on average every fifth
source is operating. Further, this result clearly shows that to obtain the plastic
deformation needed for yielding it is necessary and sufficient that the operating
sources generate only one dislocation. Thus it is unlikely that any pile-up for-
mation occurs upon initial yielding. The result can also be interpreted so that

F.AF.—H*
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the vanadium-rich carbides have no direct influence on the dislocation movement
upon initial yielding. They have, however, an indirect influence by stabilizing
the dislocation structure during tempering.

Microstructure ang Fracture Toughness

An inverse relationship between the fracture toughness and the yield strength has
been reported by numerous authors (TIrwin and co-workers, 19675 Hahn and Rosenfield,
1966b). These observations are mostly experimental in nature and therefore the

inside the plastic zone, the fracture toughness can be given as a function of the
temperature dependent ang independent components of the yield strength (Kotilainen,
1979)
l¢]
K. =A+k—L (5)
Ic Oe ?
where o, is the temperature dependent component of the yield strength and A and k
are constants. The temperature independent component 0” can be given (Térrénen,
1979)

By = CLGbLm_l (6)

where a is a constant, G is the shear modulus and b is the Burgers vector. The
temperature dependent component is according to Eq. (1)

(7)
Combining Egs. (5), (6) and (7) the fracture toughness can be expressed

',GoLm \ -1
K. =A+x (! mT (8)

_ +
Ic \ "ago 1/ e 1
Eq. (8) gives the relationship between the dislocation density and fracture tough-
ness. An increase of the mesh length has been shown to decrease the cleavage frac-
ture strength (Fig. 6). Considering 0, and o (Table 2), Eq. (8) predicts that the
fracture toughness increases as the mesh 1eng%h increases. This behaviour is
qualitatively shown in Fig. L, because the mesh length increases as the tempering
temperature increases (see Table 1).

The fracture toughness (the initiation of fracture) and the yvield strength are
controlled by the dislocation density. It is assumed that the constant k includes
the cleavage fracture strength and probably strain hardening. Dislocation tangles
and low angle boundaries do not resist the crack nucleus, but the first strong
barrier is the high angle packet boundary, which control the crack propagation
(Kotilainen and co-workers, 1980).

CONCLUSIONS

The cleavage fracture strength and the initiation fracture toughness have been
shown to be controlled by the mesh length of the dislocation network or equivalent-
ly the dislocation density in a bainitic microstructure. The cleavage fracture
strength can be estimated by means of low temperature tensile tests, but this
result must be separated from the microscopical cleavage fracture strength which
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is much higher. The characteristic distance depends on the value of the cleavage
fracture strength and does not correspond to any microstructural unit. It is about
3 to 8 times larger than the bainitic packet size or the fracture facet size.
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