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ABSTRACT: Flange-ube joinis from fine grained steel StE 460 with unmachined welds were
investigated under biaxial consiant and variable amplitude loading (bending and torsion) in the
range of 10° 10 5 10° cycles o crack initiation and break-through, respectively. In order not 1o
interfere with residual siresses they were relieved by a heat treatment. In-phase loading can be
treated fairly well using the conventional hypotheses (von Mises or Tresca) on basis of nominal,
siructural or local sirains or stresses. But the influence of out-of-phase loading on fatigue life is
severely overestimated if conventional hypotheses are used. However, the introduced hypothesis of
the effective equivalent stress leads fo fairly well predictions. Herefore, the knowledge of local
strains or stresses is necessary. They are determinied by boundary-elemente analyses in dependency
of weld geomelry. This hypothesis consider the fatigue-life reducing influence of out-of-phase
loading by taking info account the interaction of local shear siresses acting in different surface
planes of the material. Further, size effects resulting from weld geometry and loading mode were
included. Damage accumulation under a Gaussian specirum can be assessed for in- and out-of-
phase combined bending and torsion using an allowable damage sum of 0.35.

NOTATION Indexes

Stresses a amplitude

G bending or normal stress a, b, t axial, bending, torsion
T shear stress arith arithmetic

o normalized stress gradient eq equivalent

Strains E endurance

£ axial, bending or normal strain n nominal, normal

Y shear strain m mean

LY. Z coordinates

") This paper is an extended version of a contribution presented during the International Conference on
Performance of Dynamically Loaded Welded Structures on July 14 and 15, 1997 in San Francisco.
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Other symbals T scatter
D damage sum f  frequency
E  Young's modulus G size effect factor
G sliding modulus, ratio  of stress |, slope of S-N curve
concentration factors or of o slope of prolonged S-N curve
normalized stress gradients t  time, depth
K, Stress concentration factor ’ .
¢ angle of an interference plane
N cycle N i &  phase angle
Ps  probability of survival I Poisson's constant
R stress ratio ] angular velocity (2 zt f)
Introduction

Multiaxial random fatigue has been ignored by engineers for long times, despite

the fact that fatigue critical areas like weld toes of many structures, e.g, Figs, 1, 2, 3, are

subjected to multiaxial states of stress / strain. The latter do not tesult only from local

constraints (stress concentrations) but can be caused also by multiaxial external loading like

combined bending and torsion. The most complex local multiaxial stress / strain states are

those with varying directions of principal stress / strain directions under random loading.

The designer is confronted with following problems in the assessment of multiaxial

stress / strain states:

Which kind of stresses / strains (nominal, hot-spot, structural, local) should be used?
Which hypothesis should be used for the transformation of the multiaxial state into an
equivalent one (von Mises or a madification)?

Can design S-N curves obtained under uniaxial loading be applied for the assessment of
multiaxial loading?

Which damage accumulation hypothesis (Palmgren -Miner or a maodification) and which

-allowable damage sum (X (/N); < D,, D, = 1.0 or smaller} should be used in case of

random multiaxial loading?

The paper will outline briefly the state of the art for the assessment of multiaxial

fatigue of welds including design codes, will demonstrate on hand of some examples the

problems and show possible solutions,
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Fig. 4: Fatigue evaluation concept in design codes using the nominal system

Short overview of different fatigue evaluation concepts

Definition of stress categories (nominal, hot-spot, structural, local)

There exist different concepts for the evaluation of the fatigue strength of welded
structures. The most common concept is the nominal one. General-ly, all design codes for
welded structures base on this concept [1 to 7 a.0.]. Provided that a nominal stress can be
defined, it is assigned to the design curve of the particular geometry (design category), Fig.4.
These design curves are mostly obtained from uniaxial loading; the failure criterion is total
failure, The different safety concepts (probability of failure) are not discussed in this paper.

The ‘design curves presented on basis of nominal stresses are used also for two
other concepis, namely the hot-spot {7, 8] and the structural stress concept [9], Fig. 5. The
hot-spot stress is a fictional value derived by linear extrapolation of a calculated or
measured stress-distribution to the weld toe. For structures where a nominal stress can be
calculated by the use of basic mechanical equations like g, = F/A or M, / W, the hot-spot
stress is equal Lo the nominal stress. However, the structural stress close to the weld toc is
significantly higher than the nominal or hot-spot ones, because it is also influenced by the
geometrical transition due to the weld and the local notch effect, Fig. 5, left. If the structural
stress, e. g. measured or calculated at a distance of 1 to 2 mm of the weld toe [9], is

assigned to the particular design category, the fatigue life will be smaller than for the hot-
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spot or nominal stress, Fig. 4. (The conservative result can be corrected, if the S-N curve is
not presented in dependency of the nominal stress but of the structural siress at a defined
distance to the weld toe.)

Recently, different variants of local concepts were applied to welds, too [12 to 20]. .
The basic idea is treating the weld as a notch and calculating the local stress distribution in
the weld toe, Fig. 5, right. The notch (principal-) stress distribution is nothing else than the
continuation of the structural stress distribution. The ratio between the maximum local
(principal-) stress and the nominal or hot-spot stress corresponds to the theoretical stress-
concentration factor K,. The maximum local siress in the weld toe is the decisive value
dominating the fatigue life.

For the case of uniaxial loading and the use of nominal, hot-spot or structural
stresses the knowledge of the local stress is not mandatory as long as the used design curve
is known for the assessed weld detail in the nominal system. But for combined multiaxial
loading the knowledge of the particular maximum local siress components and of the
nominal design curve is not sufficient, because the nominal stress components, e.g. for
bending o, and for torsion 1, do not describe the local situation.

Fig. 6 shows the calculated stress-distributions for bending and torsion of a welded
flange-tube connection [18, 19]. The stress raising effect of the notch is under bending more

pronounced than for torsion.

Ty

@, : structural stress g;: maximum

O ¢ hot-spot stress notch slress n'otclh stress
o, = f{weld geometry, distribution {FE)
J_\ loading mode)
I tratt
% structural stress ‘f51 ESSw.colr(wcin 1: ion
;Ji- distribution actor: K, = 2
o 1=~ o (strain gauge or FE) om;u.

ki

finear ; weld-toe

extrapolation radivs

r
d weld angle {|
weldtoe” ¢ f (thickness, gauge length) = 1 to 2 mm

Fig. 5: Definition of stresses in a weld
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5 =25mm, t=10mm
r =045 mm, 6= 45" w=9mm

The exeedance of the nominal stress depends on the loading model
Fig. 6: Loading mode and stress concentration factors of a weld

Transformation of design curves from the nominal into the local system

Therefore, the nominal design curve must be transformed into a local one. The
nominal design curve is shifted into the local curve, Fig. 7, by determination of the
theoretical stress-concentration factor Ky, for bending and K, for torsion, e.g. by finite or
boundary element calculations or from analytical solutions [10 to 13], and by the
application of the von Mises equivalent stress criterion valid for ductile material state.

Under uniaxial loading (bending or axial) in the weld toe a biaxial stress state with
the local stress components o, and oy is produced. The local equivalent stress according to

the von Mises hypothesis which is suggested in several design codes for ductile materials

reads with
6, = Ky G, and (1
o, = u-0o, for Ky >2 [21] 2)
Ceq = Joxzkcchx-cy: K- Gy - 41— L+ 142 3)
In case of uniaxial torque, the local equivalent stress is with
Ty = Ku' T )
Oy = V3K, Ty - (5)

It a shear stress is imposed (o the bending due to an additional torsion, the equivalent stress

is then extended to
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Ceq = Jox2+oy2—cs,-oy+3-txy2 (6)

Fig. 8 demonstrates an example for the assessment of a multiaxial stress state.

The incorrect use of combined nominal stress components results in an underestimation of

fatigue life, because the effect of the shear stress in relation to the normal stress is

overestimated. Therefore, the correct evaluation of a multiaxial stress state requires the use
of the physically decisive maximum local stress components.

However, the physically correct use of local maximum stresses does not always
result in a correct equivalent stress if the von Mises hypothesis is applied. This hypothesis is
only valid for proportional (in phase) multiaxial loading with not changing principal stress
directions [18, 19]. Next section will indicate how to overcome the limitations of the von

Mises criterion.

Assessment of multiaxial stress states
Constant amplitude loading
Experimental

In design codes mostly the application of the von Mises hypothesis is
recommended on basis of nominal, hot-spot or structural stresses depending on the stress
calculation method, but not on base of local notch stresses (or strains). Expérimcnts were
carried out with as welded and stress relieved, unmachined flange-tube connections from
the structural fine-grained steel StE 460, Fig. 9. The failure criterion was the break-through
of the tube, Fig. 10. Following results were obtained:

When a combined in-phase bending and torsion (nominal shear stress was selected
to be 58 % of nominal bending stress) with constant principal stress directions is applied,
the fatigue life can be assessed using any of the mentioned stress concepls, Fig.11. But for
out-of-phase loading which simulates the changing of principal stress directions these
concepts fail when the von Mises hypothesis is applied; this hypothesis overestimates the
fatigue life severely, Fig. 11,

In order to overcome the deficiencies of this conventional hypothesis, a local siress
based modification of von Mises, the hypothesis of effective equivalent stress (EESH) was
developed [18, 19].
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Fig.7: Transformation of an S-N curve from the nominal into the local system
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Fig. 8: Example for the assessment of a multiaxial siresses state
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Fig. 9: Unmachined Mange-tube-connection
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8. Crack along tube wall b. Fracture surface

Fig. 10: Fracture of a welded flange-tube-connection

Effective equivalent stress hypothesis (EESH)

The locat components of the stress tensor for the most common biaxial stress state

a T

[o] = [ o e ] %)
xy Oy

generated by sinusoidal combined bending and torsion read in general form in the weld toe

(notch ground surface) as:

6,(t) = o, + o, st , {8)
6, (t) =0, + o,.5Nn(at-3) ., )]
T, (1) = 'cm+'cmsin(m,vf-8w) (10

In case of fully reversed stress (R = -1) the local mean stresses are Gymi Oym and
Tym = 0. The coordinate stresses o, and Oy depend on each other, see equations (1) and (2),
and are synchronous, i.e. §, = 0. Only the shear stress is imposed with a phase displacement
& = §,,. The frequency of the tests discussed in this paper was kept the same for all stress
components: @ = , = W, = 0,. With this data the stresses acting in various interference
planes @ of a surface clement, Fig. 12, can be calculated: .

O, () = C,cos2 @+ Oysin2 ¢ + 2 Ty, 08 ¢ Sin ¢ and (11}

To (@) = Ty (cOs2 @ - sin2 Q) - (0, - a,) cos @ sin . (12)
‘The EESH assumes that failure of ductile materials under multiaxial stress states is

initiated by shear stresses 1, (¢). The interaction of shear stresses in various interference
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planes ¢, in particular in the case of time-variable principal stress directions, which initiate

corresponding dislocations, is taken into account by generating an effective shear stress

'ITC
Taith = _.[Tn((P)dp
.. .o, L,

The effective shear stress is then used for determining the effective equivalent stress:

iR

o ()= G (0= 0°)

Tgith ©)
Tain 6 =0°)

8 —90°

Gexp 1—(——900

: ) = [ 2 2 _ 2 2
with  Ggq (8-0)—\/cx +0,” -o,0, +5°3 1,°
2 2
froz Ggq,DEH {pure axial or bending load) _ ch +Gy — OyOy
G~ - ‘J§ ’
Geq,DEH (pure torsion ) : Txy
and G=1+Km 1+Ky 1+, 1+ a8,
1+ Ky 1+ Ky 1+ a8, 1+ 89,
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Fig. 11: Tatigue strength of welded unmachined flange-tube-connections under multiaxial
leading

Here, fg is the size effect factor which is determined by comparing the S-N curve

for pure axial or bending stress with that for pure torsion on the basis of local supportable

stresses. This factor reflects the influence of the maximum stressed material volume on the

supportable local stress. The root in equation (14) considers the influence of the material

volume affected by the rotating principal stress and principal strain axes on the magnitude
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of the effective equivalent strain in the case of a phase displacement according to a model
developed for semiductile materials. The ratio G in the equations (14) and (17) can be
computed with the corresponding stress concentration factors. In the case of complex
geomelries, however, the corresponding stress gradients can, for instance, be found by a
finite element computation and the referenced normalized stress gradients
. 1 do,

Oymax dX

(18

can thus be determined. The basis for the effective equivalent sitess is given by the
appropriate S-N curve for pure bending load. The local coordinate stresses are calculated
from the nominat stress and the stress concentration factor according to the equations (1)
and (2) and used for calculating the local equivalent stress according to the equation (3).
For evaluating the multiaxial stress state, the effective equivalent stress calculated

according to equation (14) is then allocated to the reference S-N curve thus derived.

a. Loading ¢. Siress lensor of lhe bioxiol stress - state

b. Interferance plone y

UI' 0", U‘—U’

Talel g, tel : -cas 2y + T, -sin 2y

/ o -0
- \Tnltpl . Taipl = xz T . sin2¢ - T, cos2y
d,
Ty _— ’

lo,

Fig. 12: Interference plane stresses
Evaluation of results for welded flange-tube connections

Fig. 13 shows the reference S-N curve with the scatter band between Pg = 10 and
90 % for the unmachined flange-tube connections. This curve reflects the inferdependence

of the local equivalent stress amplitude according to equation (3) and the cycles to the
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performed under pure bending, pure torsion and with combined in-phase and out-of-phase
loading lie within the scatter band of the reference S-N curve if they were derived
according to the EESH.

This hypothesis was applied successfully also to other welded joints, such as to
machined flange-tube connections having lower stress concentrations than unmachined
ones, to unmachined and machined tube-tube connections, all subjected to combined
constant amplitude in- and out-of-phase bending and torsion [18, 19].

The question that arises is, if the EESH will be applicable also to variable in- and
ont-of-phase amplitude loading. For answering this question, first the cumulative fatigue
behaviour [22] of the welded connections under uniaxial bending and torsion must be
known.

Cumulative fatigue behaviour under uniaxial bending and uniaxial
torsion

Damage accumulation

The cumulative fatigue life of welded comnections is generally calculated
according to the Palmgren-Miner rule

n

Z(ﬁl <D . (19)
According to Haibach [23] after the knee point (this can be assumed for welded
stecls at 2 - 10° cycles or more) the inclination M of the S-N curve becomes shallower

than its inclination k before the knee point;
m=2k-1, (20)
In most design codes for the damage sum the value D = 1.0 is prescribed. Based
on different expeniences under uniaxial loading the value of D = 0.5 seems to be more
realistic [24, 25]. However, information on realistic damage sums under combined
multiaxial random loading is until now not available. It is even not known whether
damage sums obtained under uniaxial random loading can be used for the assessment of
multiaxial random loading. Therefore, a systematic investigation was carried out [26]
beginning with the determination of damage sums for uniaxial random bending and
uniaxial random torsion applied to welded unmachined, stress-relieved flange-tube
specimens, Fig. 9, and then extended to multiaxial random loading. (At time different
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research projects about this topic [26, 27] are running in Germany.)

Results of uniaxial spectrum loading

The tests were carried out under a Gaussian spectrum of amplitudes with a
sequence length of Ly = 5 . 10 cycles, Fig. 14 [26].The failure criterion was again the
break-through of the tube. Figs. 15 and 16 show the fatigue-life curves obtained under
uniaxial random bending and uniaxial random torsion; the nominal stress amplitude
presented is the maximum value of the spectrum. Figs. 15 and 16 contain also the results
determined under constant amplitude loading.
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Fig 13: Evaluation of multiaxial stress states with the hypothesis of effective equivalent stress
(EES) for welded, unmachined flange-tube connections
For a given fatigue life, e.g. at N = 2* 10° cycles, the ratio befween the endurable
maximum stress amplitude of the spectrum and the constant stress amplitude is for torsion
higher than for bending, factor 2.16 vs 1.64. This indicates different damage sums for the
particular loading. The detemlinétion of the real damage sums

Nsxperlment.Ps =50%
=—X (21)
Nealoulated=10)
according to the equations (19) and (20) results for bending Drearp = 0.08 and for torsion
Diays = 0.38, Table 1a,

Dreal
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Fig. 15: Fatigue strength of welded unmachined fMange-tube-connections under uniaxial
constant and variable amplitude bending

The different damage sums for uniaxial random bending and uniaxial random

torsion justify the necessity for investigations under combined multiaxial in- and out-of-

phase random loading in order to obtain the appropriate Dy.a1-
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Fig. 16: Fatigue strength of welded unmachined flange-tube-connections
under uniaxial constant and variable amplitude torsion

Cumulative fatigue behaviour under multiaxial random loading

The tests under combined bending and torsion of flange-tube specimens will be
carried out under Gaussian spectra with a sequence length of Lg = 510" cycles. The bending
and-torque-time histories will be applied in- and out-of-phase. The nominal shear stress will
be according to the von Mises hypothesis (1/0, = 1/ J3) 58 % of the nominal bending
stress.

Fig. 17 presents the test results obtained from constant amplitude in- and out-of-
phase multiaxial loading as basis for the damage accumulation calculation. (Fig. 11 contains
the mean curves with P, =50 %.)

In Fig. 18 the curves determined from random in- and out-of-phase multiaxial
loading are shown. Also under random loading the changing of principal directions causes a
significant decrease of fatigue life. The fatigue life in the medium-cycle range (10 <N <
10%)is reduced by a factor of 4 like under constant amplitude multiaxial loading. Therefore,
the EESH which described the multiaxial constant amplitude fatigue behaviour
satisfactorily, Fig. 13, is also applicable to in- and out-of-phase multiaxial random loadings
because of same slopes of the fatigue life curves and same fatigue life reduction factor.

Figs. 19 and 20 compare the appertaining constant and variable amplitude curves

with P, = 50 % for in- and out-of-phase loading.
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For the fatigue life of N = 2 - 10° cycles the multiaxial constant amplitudes are
exceeded under in- as well as out-of phase multiaxial random loading by nearly same factor
2.11 to 2.12. The determined real damage sums according to the equations are
Dreat = 0,35 and 0.38, Table 1b.

Fig. 21 compares the obtained real damage sums for the investigated loading cases.
However, the determined real damage sums for multiaxial random leading should not be

generalized before testing other combinations of the bending and shear stresses.

Table 1: Real damage sums for variable amplitude loading of welded,
unmachined flange-tube specimens under pure bending, pure
torsion and combined in- and out-of-phase Ioading
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NefP, = 50 %) | Fg;FeioMPa ks b gl S T w200 M | Tnaiins =200 MP2
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Torson 2 000 00O L0 5.0 90 0.0138 3621334 1391400 0384

b Comblned bending and lonlon
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Fig, 17: Combined constant amplitude loading of welded,
unmachined flange-tube specimens
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Assessment of cumulative fatigue life according to the EESH

Fig. 22 traces briefly how to apply the Effective Equivalent Stress Hypothesis

(EESH) for the assessment of the cumulative faligue life under multiaxial random loading,

when the real damage sum Dy, is known:
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The local stress time-histories o,(t), o) = p - ox() and 7,(t) and corresponding
spectra with the maximum values 6, Gy = - 0, and T, are calculated using the
nominal bending and shear stresses and the stress concentration factors for bending K,
a1_1d torsion Ky, respectively,
Froin iher lc;cal , stiessl-tinlle lhisloﬂes the shear siress time histoﬁes .in (differe'ntl
interference planes ¢ for the given phase angle 5 between ax(t) and T(t) are
determined according to equation (12).
For a given phase angle 3 the shear stress spectrum in each plane ¢ is determined. By
assigning the spectra to the uniaxial local shear stress-cycle curve the damage sums D
(¢, B) are calculated for each planc. Damage occurs in the plane @* where damage is
maximum: D, (p*, §).
As steel welds are ductile the interaction of shear stresses acting in different planes ¢
must be considered by calculation of the effective (arithmetic avarage) damage sum for
in-phase loading 8 = 0°and for a given phase angle 5 analogue to equation (13).
The effective equivalent stress spectrum is determined while for the shape of this
effective spectrum the shape of the shear stress spectrum with D, (0¥, 8) is taken. The
maximum value of the effective equivalent spectrum is calcnlated using the maximum
valucs of the input spectra according to the equations (14) to (17).
Finally, the cumulative fatigue life under multiaxial random loading is calculated by
assigning the effective equivalent spectrum to the local S-N-curve obtained from
uniaxial bending. The calculated fatigue life

Neal =DL—3— - Dreal (22)

eff
must be connected with the real damage sum D, which is obtained from presented

multtaxial random tests.

413




Strasr-tinsg hiriodes and 1pecta 2 Caloukation of eifecive damige sums
of local strens components In-phasy Dut-of-phase:
@ (0 oy (g o, (1, v, £18) Bemlt -ﬂ-%fﬂ-l]d- D-ﬂ-(')'el"(!-‘)“
For any phase mngle b betvaren ' .
o and 1, (4 )
[» of the elfectie sirasy pacingm
. rphater Oviof-phase:
) LAY
T
l Falt=o)= 3140 -0, 5 o Jarg 3.:(']-’.-(‘-“1,:.‘_ .
Cakuladen of . Farees
shear piress-tima Misiores ot witmi) ) .F-qt- 7’“’] I
r, Lo B n cilferent inteclaenm : \ Bt utr)
plarts o fer pluse angle & l / .
W) el N )
} [] N
Dutamming¥on of shear siress spacirum snd damigd Rem Spectram shape: Shape of shear siess spacrunin plane ¢ with D {8
lor gach briaviucwnce plane g }
Taled Cumadptive redtiandal futigoe We
e - - D(""'E('B e vl el L
; \ - o,..[(%)l
H i, -
]

Fig. 22: Application of the effective equivalent stress hypothesis
to multiaxial random: loading

kHm
40+

Moment

3] 25
) Time tIn s

b. Torsicn
kNm

40-]

Moment

[1} T T v T

15 20
0 3 o Tima tin s

Fig. 23: Multiaxial random-load-time-histories

Present recommendations

Alithough not all necessary clarifying knowledge from research presently
performed on multiaxial random fatigue [26, 27] is yet available, i.e. the obtained real

damage sums for multiaxial random loading cannot yet be generalized, some
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recommendations can be given for dimensioning of welded structures against such complex

loading sitvations:

It is necessary to determine the local stress-time histories of the stress components. As
'the local values cannot be measured, it is sufficient if structural stresses Cinr Oeys Toxy ATE
measured and then transformed by stress concentration factors K, Ky into local values
Oy, Oy, Txy- If stress conceniration factors are not available, a boundary or finite element
modelling can be helpful.

In structures random torsion and bending stresses can differ very much with regard ro
frequencies and spectrum shapes. Fig. 23 shows such bending- and torque-time histories
measured at the shaft of a fertilizer stirrer, Fig. 1 [28). The bending stresses are
fluctuating (R = -1), while the torsion is a start-stop event with small fluctuations about a
positive mean stress,

The particular spectra are presented on Fig. 24. In the weld toe shear stresses could be
calculated for different interference planes ¢ according to equation (12), and effective
damage sums could be determined. As for this complex load situation the knowledge for
assessment is still not available a practical way to solve the problem with conservative
assumptions can be proposed:

The influence of different mean bending and shear stresses, Fig, 24, is corrected by
application of the mean stress sensitivity of the steel used. The shear stress is
transformed to the sress ratio R = -1 of the bending stress. The shape and size of the
effective equivalent stress spectrum is determined by the spectrum shape of the most
intensive local stress component. In this case it is the bending stress which has a fuller
shape in comparison to the shear stress spectrum,

This means as if the torsion would fluctuate with the same frequency of the bending
moment and additionally has the shape of the bending spectrum; i.e. the shear stress
would act in a more damaging (intensive) way as in reality.

The maximum effective equivalent stress is obtained by application of the EESH. A
constant amplitude in- and out-of-phase simulation with the maximum bending and
shear stresses of the corresponding spectra is carried out with the most critical phase
angle of 6 = 90° for ductile steels, |

The effective spectrum is then assigned to the local S-N curve of the welded design
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detail, Fig. 25,
* The cumaulative fatigue life is calculated assuming an allowable damage sum of
Dy =050.

The stirrers discussed here, Fig. 1, were redesigned, Fig. 25, fifteen years ago after
several structural failures applying very conservative assumptions [28]. (After the redesign
of the shafts no failures occured.) The use of the present knowledge on multiaxial fatigue
results in a similar effective equivalent stress spectrum. However, the extent of
conservatism introduced can be evaluated only when more detailed results on multiaxial

random fatigue will be available.
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Conclusions and outlook

Principally, the evaluation of constant or variable (random) amplitude multiaxial
fatigue of welds requires the knowledge of the local stress state in the weld toe (notch). It
can be determined by boundary or finite element modelling of the weld detail. The observed
fatigue life reduction of ductile steel welds under constant and random amplitude multiaxial
loading with changing principal stress directions compared with welds with constant
principal directions, e.g. simulated by out-of-phase and in-phase bending and torsion, can
be described fairly well by the Effective Equivalent Stress Hypothesis (EESH). While
uniaxial random bending and random torsion tests reveal different real damage sums (D
= 0.38, Dy, = 0.08) the value of the real damage sum for cuinulative multiaxial fatigue
assessments was found to be Dy = 0.35 to 0.38. However, a systematical investigation of
multiaxial random fatigue, as it is presently performed [26, 27], is necessary, because the
obtained real damage sum cannot yet be generalized. Despite conservative
recommendations how to use existing knowledge for the assessment of multiaxial random
loading of welds validation tests must be carried out in critical cases.

The multiaxial fatigue research comprises presently steel welds, which have ductile
material behaviour, From present knowledge on multiaxial fatigue behaviour of unwelded
materials it can be concluded that aluminium welds, which are not as ductile as steel, may
require the application of other stress and cumulative damage hypotheses. A new research
project about the multiaxial fatigue behaviour of aluminium welds is also in progress.

Fracture mechanics concepts (29 to 32] have not yet been applied to multiaxial
fatigue problems in order to predict crack propagation. The project [28] in progress also

aims at applicable fracture mechanics concepts.
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